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errors in nominal or initial conditions. The use of a single
reference traiectory in each problem means that the guidance
method requires little storage capacity.

In the lunar landing study, the guidance capability for a
control system formulated with the gravity turn as the
reference trajectory was far superior to one formulated with
a constant-pitch-rate reference trajectory. With a single
gravity turn reference trajectory, the guidance system could
compensate for initial range errors of 1009, of the reference
value with a small additional fuel increment, equivalent to a
characteristic velocity of 70 fps.

In the earth re-entry problem it was found that with a
single reference trajectory it was possible to obtain a guid-
ance capability from 1500 to 12,000 miles for a range of entry
conditions which utilized virtually all of the vehicle’s
capability.

For the abort conditions considered in this paper, the
guidance system was generally able to make almost full use
of the vehicle’s range capability.

Errors of 5% in vehicle L/D had little effect on the capa-
bility of this guidance scheme.

Density variations from the nominal affected the long-
range guidance but had little effect on guidance capability
for ranges less than 6000 miles.
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Quadrupedal Landing Gear Systems for Spacecraft

Raymonp J. BLack*
The Bendixz Corporation, South Bend, Ind.

Landing gear systems having multiple legs, each of which is an inverted tripod composed
of three energy-absorbing struts, are studied. Model scaling is related to three primary full-
scale to model ratios: acceleration, mass, and length. Model drop test results correlate
satisfactorily with theoretical landing stability (¥ vs x) curves for models simulating 1) a 70-
ft-high, 2000-slug vehicle and 2) an 18-ft-high, 300-slug vehicle. A squat, “wide track” sys-
tem for ground slopes up to 15° is also studied. The theoretical model and the resulis of a
parametric study are given in terms of ground slope (5°, 7°, and 15°), tripodal strut stroke
loads, lower/upper strut load ratio, and number of legs. A 4-leg system is shown to be best;
a 5-leg system would be approximately 259% heavier because, in the critical-stroke landing
condition (uphill impaect), § of the total vehicle kinetic energy had to be absorbed by the one
leg making first contact for either system. The critical stability landing is a downhill, back-

pitched, 2-2 impact. Landing gear weight must be doubled to increase ground-slope capa-

bility from 5°~7° to 15°.

Nomenclature
bij = angle, as seen in side view of vehicle, made by jth
shock strut of ¢th leg set (Fig. 5)
Cis = angle, as seen in true view of jth shock strut of
ith leg set (Fig. 5)
doj = vertical distance from hardpoint of no. 1 strut to

hardpoint of jth strut (Fig. 5)

di = vertical distance from vehicle center of gravity
to hardpoint of no. 1 strut (Fig. 5)

di = distance, in Z direction, from hardpoint of no. 1
strut to pad connection point (Fig. 5)

F, = total effective vertical load output of one leg set

Fi; = axial force of jth shock strut of 7th leg set (Fig. 7)

Received August 23, 1963; revision received December 23,
1963.

* Developmental Engineer, Advanced Mechanics Department,
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F; = plastic stroking force of jth shock strut (Fig. 7)
saFin,Flic = set of triaxial forces acting on ¢th pad (vehicle

axes) (Fig. 6)

Fiy = vertical force on pad

g = acceleration of gravity (local)

h = rise of lower link of drop test mechanism (Fig. 3)

ha = drop height of dynamic model (Fig. 3)

I = moment of inertia of vehicle about pitch axis

I = moment of inertia of lower link of drop test mech-
anism

K; = compression spring rate of jth energy absorber
(Fig. 7)

Kpg; = extensional spring rate of jth shock strut

K, = vertical spring rate of vehicle and pad (per leg
set) (Fig. 6)

L = instantaneous center of rotation of lower link of
drop test mechanism (Fig. 3)

L, = crushable thickness of landing pad

L;; = length of jth shock strut of ¢th leg set as seen in
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side view of vehicle (Fig. 5)

Lije = true length of jth shock strut of ¢th leg set (Fig. 5)

Lijn = initial true length of jth shock strut of +th leg set

m = mass of vehicle

Me = mass of lower link of drop test mechanism

My = unsprung mass of a leg set

n = number of legs

P; = hysteresis force in jth shock strut energy absorber
(Fig. 7)

3 = absolute sliding velocity of ¢th pad

Ry = radius from c.g. to upper leg hardpoint (Fig. 5)

R, = radius from c.g. to lower leg hardpoint (Fig. 5)

t = time

Vo Va = vertical and horizontal velocity of vehicle (gravi-
tational axes)

,Y,2 = coordinates of center of gravity of vehicle (Fig. 6)

TpiyYpir2pi = coordinates of the ¢th pad (Fig. 6)

a = ratio of full-scale acceleration to model acceleration

i = ratio of full-scale mass to model mass

v = ratio of full-scale length to model length

o = angle between upper and lower gear hardpoints

(Fig. 5, note sign convention)
Ap = horizontal distance from leg set joint to lower
surface of landing pad (Fig. 6)

I

¢ = slope of surface (Fig. 6)

1 = angle moved through by model from point of re-
lease to point of ground contact (Fig. 3)

0; = angle of a particular leg set (Fig. 5)

" = coeflicient of friction of 7th pad with lunar surface

oy = crush strength of crushable pad

¥ = angular rotation of vehicle about z axis (pitch)
(Fig. 6)

Yo = initial pitch angle

Subscripts

;A = denoting association with <th leg set (¢« = 1,2,
...n)

J = denoting association with jth shock strut (j =
1,2,3)

Introduction

HE design of a lightweight landing gear system for a

spacecraft depends upon anticipated impact conditions,
such as horizontal and vertical velocities, vehicle orientation,
ground slope limitations, and surface conditions. Tor a
manned, soft landing on the moon, studies indicate that
a leg-type landing gear is probably best.. 2 Hach leg con-
sists of an inverted-tripod arrangement (Fig. 1) of three
stroking struts which contain crushable, encrgy-absorbing
material. The upper strut constitutes the main encrgy ab-
sorber of the system. The high efficiency of this structure is
because it is primarily axially loaded. Transverse loads
are limited to those generated by end point lateral decelera-
tions and nonsymmetrical loading of the landing pad that
introduces only slight bending moments into one of the
lower struts. Both deceleration of the end points and the
magnitude of bending moments from nonsymmetrical ground
forces can be limited by constructing the landing pad of
crushable material. Several research groups have more or
less independently arrived at this type of landing gear system
in which each leg is an inverted tripod.

The present paper is concerned with an experimental and
theoretical study of the tripodal gear system. The study
may be divided into three arcas: 1) experimental drop tests
of a dynamically scaled model, 2) development of a theo-
retical model that correlates with the experimental results,
and 3) parametric studies using the theorctical model,

Model Secaling

Tl}e design of a scale model of a spacecraft for purposes of
landing gear system evaluation makes use of the standard
methods of dimensional analysis.? Each of the basic vehicle
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Fig. 1 TInverted tripod leg with universal energy absorp-
tion characteristics.

and gear parameters can be expressed by various combina-
tions of the three-dimensional units of force, length, and time,
which can, in turn, be expressed in units of acceleration,
length, and mass. Three scale factors, «, 8, and v, are de-
fined in the Nomenclature.

If all of the terms within one of the = quantities char-
aclerizing a particular problem are scaled by these factors,
then the resulting quantity for the model m; will be identical
to the full-scale quantity ms. For example, one of the =«
quantities is

T =m gRl/] %2 (1)

By employment of the scaling factors, the requirement that
m/me = 1 is reduced to the identity

OO0

The scale factor « is fixed at the ratio of lunar or planetary
gravitational acceleration to earth gravitational acceleration.
Any attempt to change this factor would involve a complex
drop test scheme, such as dropping the model on an accelerat-
ing platform or compensating for gravity by a gymballed
thrustor at the center of gravity of the model. The other
two factors, 8 and 7, depend upon the information desired
from the model tests. For stress information, the model
should be made of the same material as the full-scale system
and should be subjected to the same stress. For a lunar
model, this would mean

a=g B/vd =1 af3/y? =1 )
hence, 8 = 6% and v = 6.

If, however, one desires only to predict the motion of the
vehicle, then stress by itself need not be scaled. This leaves
considerable latitude on the selection of 8 and v, but there
are practical limitations. If v is very large, then the model
legs can not be scaled, because of a practical minimum on
strut wall thickness. This, in turn, results in difficulty in
obtaining the correct moment of inertia of the model, since
considerable mass is located at a large distance from the
center of gravity. Decreasing 8 would tend to alleviate
this, except that it results in an increase in model-gear stroke
force which necessitates increasing the strut ecross sections
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Fig. 2 Dynamically scaled model of 300 slug vehicle;
v = 10.

and, therefore, mass. For these reasons, the stress scaled
model given by Eq. (3) is a good starting point. Material
limitations indicate that deviations from this “ideal model”
by a vector of 3(y =~ 20) are approaching the maximum
for a model that is to be dynamically scaled for over-all
vehicle motion. Once values of «, 8, and v are chosen, de-
rived scaling factors may be determined for other quantities
as shown in Table 1.

Models and Drop Test Equipment

Two models are considered. The first simulates a com-
paratively large vehicle with an over-all height (including
the landing gear system) of 70 ft and a lunar touchdown mass
of 2000 slugs. A length scaling factor of v = 20 provides
a convenient model size. (See parameters in Table 1 under
v = 20.) In the full-scale system, each of the stroking
struts would contain crushable aluminum honeycomb energy
absorbers. On the model, stroking loads were more con-
veniently achieved by using the sliding friction of a tapered
Teflon sleeve compressed against the shock-strut piston by an
adjustable collar threaded to the outer diameter of the sleeve.
(Teflon is suitable because the ratio between static and dy-
namic coefficients of friction is close to unity.) Periodic ad-
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Fig.3 Schematic of drop test mechanism.

absorber in each of the struts is simulated by a friction
sleeve.

Both models have four legs because analog computer
studies had indicated that, for equal stability and energy
absorption capability, the four-legged vehicles should be the
lightest. (Although the analog model was based on legs
with unidirectional stroke, in contrast to the actual triaxial
stroke capability of a tripodal leg, a more detailed analysis
to be discussed later confirmed this four-leg conclusion.)

The drop test mechanism, a four-link pendulum (Fig. 3),
is designed to allow for any combination of horizontal and
vertical velocities, pitch angle (o), and pitch velocity (o)
at the instant of impact. This was achieved by making the
angle between the two vertical links of the pendulum adjust-
able. 'The model was attached to the lower horizontal link,
so that the model’s e.g. coincided with the c.g. of the link.
This lower link is the only significant moving mass in the
pendulum. The whole system is rotated backward to raise
the center of gravity an amount A;; then it is released. At
the instant that the velocity vector of the lower link and
model is horizontal, the horizontal velocity and the pitch
velocity are given by

2ghi(mo + m)L?

justment of the friction devices assured a relatively con- Ve = (4)
sistent load. The second model (Fig. 2) considered simulates (mo + m)L* + (Io + 1)
a vehicle with an over-all height of 18 ft (including landing and
gear system) and a lunar touchdown mass of 300 slugs; .
the length scaling factor is ¥ = 10. Again, the energy Y = Vu/L 6))
Table 1 Derived scale factors
Scale factor v =20 =10 vy =6
Quantity (f = full scale, m = model (a = %, 8 = 20%) (¢ =1, B =103 (a = %, 8 = 69)
Angular velocity 65/6m = (a/y)L/? 0.0915 0.129 0.167
Energy Wi /W = aBy 2.67 X 104 1.67 X 103 2.16 X 102
Force F;/F, = of 1.333 X 103 1.67 X 102 36.00
Mass density pi/pm = B/? 1.00 1.00 1.00
Mags moment of inertia I; /I, = B8y 3.2 X 108 1 X 108 7.776 X 103
Pressure, stress, ete. E//E, = of/v? 3.33 1.67 1.0
Spring rate K;/Kn = aB/vy 66.7 16.7 6.0
Time Ultm = (v/a)l/? 10.93 7.75 6.0
Velocity Vi/Vi = (ay)t/? 1.823 1.291 1.0
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At this point the model is released automatically by a
mechanism controlled by a microswitch. The model c.g.
follows a parabolic trajectory to the surface simulator, and
the model moves through a pitch angle

0 = %oV./g (6)

This requires a correction angle on the model’s pitch angle
in the rotatable release platform. The drop height A4, is
measured between the surface and the impacting pad, with
the model located on the release platform with the uncor-
rected pitch angle (impact pitch angle). Although this dis-
tance is not the actual drop height, the vertical velocity
achieved at impact is related to it by the relationship

hy = Vo(V, — Vg tan{)/2g (7)

To facilitate the testing, charts were developed for the
settings on platform angle, link setting, drop height (hs), and
release angle necessary to achieve at impact any desired
combination of velocities and orientation.

Mathematical Model of System

Preliminary investigations had been made with a mathe-
matical model in which each leg had only unidirectional
stroke. An attempt was made to account for some non-
unidirectional effect by varying the coeflicient of friction
between the ground and the pad, but the variation in vertical
and horizontal loads, and stabilizing and destabilizing mo-
ments generated by these loads, is so complex that it is im-
possible to represent the effect by equating the horizontal
load to a vertical load multiplied by a coefficient of friction.

Fig. 5 Tripodal leg-system nomenclature.

QUADRUPEDAL LANDING GEAR SYSTEMS FOR SPACECRAFT 199

DIRECTION OF
GRAVITATIONAL
FIELD
}pi
/ Fic

(0,0) ~E

Fig. 6 Vehicle free-body diagram and nomenclature.

Figure 4 shows the poor degree of correlation achieved with
such a mathematical model, because of the interplay between
geometry changes and load changes and the fact that the
tripodal gear results in triaxial energy absorption. It was
concluded that the complete articulation and stroke capabili-
ties of the landing gear system must be duplicated to yield
a true picture of vehicle stability during landing.

Nomenclature used in the analytical model is given in
Figs. 5,6, and 7. TFigure 7 shows the nomenclature associated
with the stroking load F;;. For the studies conducted, a
constant stroking force (F;) was assumed for the crushable
honeycomb absorber. The derivation of the nonlinear
equations of motion for the vehicle is straightforward. The
equations governing the system are listed below.

Geometry
Let

A = L sinb;; + R, cos8;— R; cos(f: + ;) (8)
B = Ly cosbiy — dy; )
C = d, + Ry sing; — R; sin(6; + «;) (10)

Then the leg set geometrical relationships are:
Ly* = A* + B? (11)
Lt = Li* + C? (12)
b;; = tan™1A/B (13)
cij = tan"1Ly/C (14)

The pad coordinates are given by

Tpi = & — dy cosy — Ry cosh; sing — Ly cos(by — ) (15)

y — dy sing + Ry cosf, cosy + Ly sin(by — ) (16)
2pi = dia + Ry sing; an

Yoi

1 *(Li}?o-Lijt)m*‘
.

Fij /
Fig. 7 Energy absorber
nomenclature.
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profiles.
Forces
Let
AL = Lijn — Ly (18)
ALj = maximum previous value of AL (19)

Then the stroke force is given by

Fij = K;[AL — ALy + Fi/K}],
ALy — Fi/K; < AL < ALy, (dAL/dt) > 0
= K;[AL — ALy + F,/K;] — P;,
ALy — Fi/K; < AL < ALy, (dAL/df) < 0

= F,‘,—ALM < AL
= 0,-0 <AL < ALy — Fj/Kj
= KyAL-AL <0 (20)
The ground reaction force is
Fiz = Ks(Ap - $pi) Lpi S Ap
=90 ZTpi > Ap (21)

Resolution of the stroke forces into the vehicles axes system
gives

Fio =3 Fy cosc; (22)
J

Fib = Z F»,'j sincij COSbij (23)
J

Fic = Z Fii sinci,- sinbi,- (24)
7

Equations of Motion

The equations of motion of the vehicle are

mE — mg cos{ = Z; (Fy cosy + Fi,siny) (25)
mg — mg sin{ = Zy (Fy sing — Fi. cosy) (26)

IY = Y i[Fidy + Li coshiy) — Fu(Ry cosf; +
L sinba)]  (27)

The equations of motion of the unsprung mass are
My Epi -+ Fip cosy 4+ Fiosing — Fi = 0 (28)
My Gpi — (Fic cOSY — Fip sing) + p; Fip i/5: = 0 (29)
My Zpe — Fia + pi Fiy 29i/5: = 0 (30)
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where
$i = (ﬁgm‘2 + ém'z)llz (31)

The dynamics of the unsprung mass of each leg have been
included in the equations of motion to allow the determina-
tion of footpad motion. The numerical value of the un-
sprung mass in these equations does not have to equal the
true unsprung mass of the legs in order to obtain correct
vehicle and gear motions during landing, but it can not be
so high that it constitutes a significant percentage of the
over-all mass of the vehicle. If predictions of unsprung
mass accelerations are desired, then, of course, the numerical
value must equal the actual unsprung mass. Such caleula-
tions would require a smaller time increment in the numerical
solution than a solution using a larger mass value due to the
high-frequency ‘“loop” made up of the unsprung mass and
the elastic portion of the strut load-stroke curves.

Comparison of Experimentél and Theoretical
Results

For the 55-scale model of the 2000-slug vehicle, the critical
boundary between stable and unstable landing as a function
of vertical and borizontal velocities was established for a
back-pitched, zero-pitch-velocity landing condition. The
landings took place on a 5° surface with the gears oriented
to yield the minimum stabilizing moment (2-2 impact of
the 4 legs). The surface itself was a scaled version of a soil
model suggested by NASA*: the upper layer was § in. of
fine pumice stone powder, simulating a 10-cm layer of igneous
rock dust; below this, 2 layers of foamed plastics simulated
substrata of rock froth. However, the analytical model
assumed a rigid impact surface with a coefficient of friction
of unity. A comparison between the theoretical and experi-
mental results for this case is shown in Fig. 8a.

Tests conducted with the #5-scale model of the 300-slug
Iunar vehicle (Fig. 8b) were carried out using a rigid surface
(plywood) rather than the scaled lunar surface just de-
scribed. A very high coefficient of friction was obtained
between the surface and the landing pads by attaching
sharp barbs to the pads to simulate landing on a very rocky
surface. The landing conditions again were a downhill 2-2
back-pitched impact on a 5° slope.

For both models, the correlation between theory and ex-
periment is satisfactory. The study also indicates that, for
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Fig. 9 Effect of ground slope on stability boundaries.
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the size of vehicles under consideration, the energy losses
and “dust flow” forces generated when the pads contact the
lunar dust are not of sufficient magnitude to affect stability
and over-all motion. The assumption of a rigid surface
appears to be valid for the suggested soil model, in which the
first substrata of rock froth was assumed to have a bearing
strength of 200 psi. This would support the particular
landing pad and would be equivalent to a rigid surface.
The design of a landing pad for any particular surface bear-
ing pressure is governed by the following equation:

Ap = 1o (F. + my V.2/2Ly) (32)

Nonpenetration of the surface would require that o, be less
than the bearing strength of the surface.

The assumption that the unsprung mass of the gears (and
the associated dynamics) does not affect the over-all vehicle
motion appears to be valid. It is generally concluded that
the analytical model is sufficiently detailed to predict vehicle
and landing gear action during landing.

Parametric Studies

The failure modes of the landing gear system could be
categorized as follows:

1) Excessive horizontal or vertical forces transmitted to
the vehicle

2) TFinal attitude too far from vertical (or vehicle topples)

3) Energy capacity of any shock strut exceeded

4) Strut crushes against vehicle frame becausc of ex-
cessive stroke

5) Ground clearance for nozzle falls short of specified
minimum

6) Structural failure of any strut occurs

No failure item from the failure mode list can be picked as
the sole criterion for the evaluation of the landing gear system.
For example, one of the most critical of these items is the
over-all vehicle stability, but design for stability alone leads
to bottoming of the auxiliary struts on a one-leg-forward,
uphill impact at maximum horizontal and vertical velocities.

For the 300-slug vehicle, the spectrum of landing conditions
considered is as follows:

1) Vertical descent velocity, 0 to 410 fps

2) Horizontal velocity, —5to +5 {ps

3) Pitch or yaw angular veloecity, —0.10 to 40.10 rad/scc
4) Roll velocity, 0
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5) Pitch or yaw angle (with respect to gravitational field),
—5°to 4-5°

6) Roll angle, no limits (landing in any direction)

7) Ground slope, 0° to 5°

8) Surface coefficient of friction, 0 to «

9) Maximum ground roughness height, 4 in.

The vehicle was assumed to be cylindrical with a radius of
6 ft, a nozzle-to-c.g. height of 8.5 ft and a radius of gyration
of 4.5 ft. It was found that a landing gear system having a
radius of 10 ft, an upper strut stroke load of 3800 1b, and a
lower strut stroke load of 1300 b, both satisfied the critical
combinations of the impact variables without failure and
was near-optimum from a weight standpoint. The upper
gear hardpoint was located 1.5 ft below the c.g., and the lower
gear hardpoint was approximately 5 ft below this. Both
of the hardpoints were considered as fixed in the weight
optimization study.

The “null point” landing gear system used for most of the
parameter variation studies discussed below consisted
basically of the forementioned system with the exception
that the gear radius was increased to 12 ft.

One of the first items considered was ground slope. Com-
pounding a 4-in. ground ledge, a 4-in. ground depression,
and a 5° slope results in an effective slope of approximately
7° for the gear radius of 12 ft. Figure 9 shows that ground
slope has a marked effect on vehicle stability; the increase
from 5°-7° results in a 509 reduction in the allowable maxi-
mum horizontal velocity at impact.

Ground slope capability, of course, can be increased by in-
creasing the radius of the landing gear. For the foremen-
tioned spectrum of landing conditions, the radius require-
ments for 5° and 7° slopes are 10 and 12 ft, respectively,
and it will be shown later that dR/d¢ is nearly constant for
5° < ¢ <200,

The energy-absorbing lower struts, necessary to keep the
horizontal acceleration of the vehicle low, also enhance the
stability of the vehicle when the line of action of the lower
struts falls below the c.g. of the vehicle. (If the lower gears
were only elastically compressible, extremely high over-
turning moments could be generated when the forward leg
contacted a horizontal obstruction; the only stabilizing in-
fluence would be the gravitational force). Figure 10 (top)
shows that decreasing the lower strut stroke load Fa (with
fixed upper strut stroke load F:) has a stabilizing effect, i.e.,
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Fig. 12 Weight vs number of landing gear leg sets, equal
stability, and equal absorption capability.

it permits greater horizontal velocities. However, the per~
missible reduction in F, is established by the critical energy
absorption impact. For an uphill impact at maximum
vertical and horizontal velocities and with the vehicle pitch
toward the slope, drop tests as well as computer studies indi-
cate that the forward leg set (1-2-1 leg orientation) absorbs
a high percentage of the total kinetic energy of the system.
For the present system, this percentage is 729, 329, of
which is absorbed by the lower struts. Thus with too low
an Fs, the stroke becomes excessive and failure can occur by
either lower strut bottoming or structural interference of the
upper strut with the lower edge of the vehicle body.

An increase in the upper or main strut stroke load F, (with
fixed Fo) is stabilizing (Fig. 10, bottom). This would be
expected on the basis of the previous discussion because the
line of action of the upper struts falls above the c.g. of the
vehicle so that an increase in the ratio between stabilizing
and destabilizing moments results. Figure 11 shows that
when the ratio Fi/F, is held constant, there is very little
change in the stability.

Although an increase in F, increases the maximum allow-
able horizontal velocity, it leads to added weight and to in-
creases in the horizontal and vertical decelerations during
impact. The weight increase can be partially compensated
by reducing the radius, but this shortens the lower struts
and requires a greater lower strut stroke load to take care of
the critical one-leg energy condition. Tradeoffs among these
factors lead to an F; of approximately 4600 lb to take care of
the stability on a 7° slope for the specified velocity spectrum.

The optimum number of legs for a system can not be estab-
lished without defining ground rules. For example, on the
surface it would appear that over-all landing reliability could

Fig. 13 Wide-track landing gear system.

J. SPACECRAFT

be increased by increasing n, the number of leg sets, because
with n > 4, failure of one leg set would not necessarily result
in a toppling failure.

However, it can be shown that for two systems of n and
n -+ 1 legs, respectively (n > 4), the increased probability
of failure brought about by the greater number of parts in
the n + 1 system overshadows the gain in reliability achieved
by generation of a small region of one-leg-failed stability.
The selection of the optimum number of leg sets, therefore,
depends primarily on weight considerations. Conceivably,
the use of a large number of legs could lead to a reduction in
the required size of each leg and a weight advantage.

Analog computer studies of landing gear systems, designed
for equal stability with equal energy-absorption character-
istice with unidirectional-stroke shock struts, indicated
that, in fact, a four-leg system was the lightest. Later
studies using the more detailed digital-computer model
verified this conclusion (Fig. 12). The latter studies showed
that a 5-leg system would be 259, heavier than the equivalent
4-leg system, because the gear radius of a 5-leg system had
to be the same as that of a 4-leg system, and the critical
energy landing requirements were the same for both systems—
4 of the total vehicle kinetic energy had to be absorbed on
one leg with ¢ of this energy being absorbed by the lower
struts. Thus, there could be no reduction in F, for the 5-
leg system without incurring a lower-strut bottoming failure.
The stability profiles showed slight differences similar to
those of Fig. 11. This could be expected since the higher
stroke loads of the solid line of Fig. 11 would be analogous
to the 259, higher over-all loads found in the 5-leg system.

A wide-track (Fig. 13) design for ground slopes up to 15°
was investigated using the mathematical model given pre~
viously. The gear size was limited by the gear stowage space
which, in turn, was determined by the clearance between the
booster adapter fairing and the landing vehicle under con-
sideration. In contrast to the system designed for a 7° slope,
the line of action of the lower struts passes above the c.g. of
the vehicle. This factor, combined with the smaller angle
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Fig. 14 Stability profile for wide-track system on 15°
slope.
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between the two lower struts of a leg set, resulted in some
marked differences in performance trends. Reduction of
F, had a destabilizing influence because very large strokes
were encountered in the outside lower strut of the forward
leg sets for the critical 2-2 downhill impact condition. In
fact, with the first design of the wide-track system, the forward
leg sets had a tendency to act as a single spherically hinged
strut. Increasing the angle between the lower legs, reducing
F, and increasing F, alleviated this problem. Figure 14
shows the over-all stability profile. The inclined coordinates
are velocities relative to the gravitational field, whereas the
main coordinates are measured with respect to the (sloped)
surface. It can be seen that the system is stable for the
given spectrum of velocities.

General Trends and Conclusions

In all of the gear designs discussed previously, the critical
landing conditions are fairly consistent. The maximum
vertical deceleration occurs on a straight drop onto a level
surface of high coefficient of friction for which case all legs
stroke together. Maximum horizontal deceleration occurs
during a nearly horizontal drop onto a surface of high co-
efficient of friction (simultaneous obstacle impact of all leg
sets), but the deceleration quickly drops off due to pitching
of the vehicle.

The landing that is critical from a stability standpoint is
a downbhill, back-pitched impact with the minimum stabilizing
radius on the forward leg sets (i.e., a 2-2 impact for a four-
leg system), because it results in a high forward pitch ve-
locity that must be decelerated by the forward legs. Land-
ing in a forward-pitched attitude is more stable, since the
impact reaction moment now simply rights the vehicle.

The critical energy-absorption landing condition consists
of an uphill, one-leg-forward impact with forward pitch
velocity on an infinite coefficient of friction surface (for the
forward leg set). This landing condition is particularly
critical for systems having a low ratio of gear radius to c.g.
height. With higher values of the latter ratio, the high
moment generated by the forward leg causes the vehicle
to pitch rearward more rapidly, thus bringing the other legs
into play with a more uniform energy distribution. For
sufficiently high ratios of radius to c.g. height, the critical
stability condition becomes the critical stroke condition for
the lower legs, due to the back-swiveling of the forward legs
as previously described.

The critical post-landing attitude, for both high and low
values of the radius/c.g.-height ratio, occurs on uphill land-
ing with an infinite coefficient of friction on the forward leg
or legs, and a zero coefficient on the aft leg. For the small-
radius, 7° design, the most adverse post-landing attitude
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was 18° (from gravitational vertical), but for the wide-track
design landing on a 15° slope, the adverse post-landing atti-
tude was again 18°, or only 3° more than the ground slope.

The generalizations already given concerning effects of
stroking loads cover parameter variation trends about two
widely separated null points of design. Both the stroking
loads and the stroke-load ratios play a very important part
in the stability of the vehicle.

The general trends in weight and radius/c.g.-height ratio
found in the three landing gear designs are shown in Fig. 15.
The system designed for ground slopes up to 15° also in-
cluded capability of landing on surfaces with discontinuities
as high as 1 meter. This required considerable shielding
around the lower struts in the form of crushable material and
also necessitated designing these lower struts for large
bending moments brought on by the discontinuity impact,
so that landing gear weight was nearly doubled. Subtracting
this weight penalty for large discontinuities yielded the point
shown in the lower weight curve of Fig. 15. It is emphasized
that the points shown in this figure represent complete
designs taking into account all of the design criteria.
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